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The present study was aimed at predicting the time-dependent deformation of tools used in hot forming applications subjected to
the creep-fatigue regime. An excessive accumulated plastic deformation is configured as one of the three main causes of premature
failure of tools in these critical applications and it is accumulated cycle by cycle without evident marks leading to noncompliant
products. With the aim of predicting this accumulated deformation, a novel procedure was developed, presented, and applied to
the extrusion process as an example. A time-hardening primary creep law was used and novel regression equations for the law’s
coeflicients were developed to account not only for the induced stress-temperature state but also for the dwell-time value, which is
determined by the selected set of process parameters and die design. The procedure was validated against experimental data both on
a small-scale extrusion die at different stress, temperature, load states, and for different geometries and on an industrial extrusion
die which was discarded due to the excessive plastic deformation after 64 cycles. A numerical-experimental good agreement was

achieved.

1. Introduction

Forming processes like die-casting, extrusion, and forging are
economical ways of producing large quantities of complex,
tight tolerance parts in lightweight alloys such as aluminum
and magnesium. However, these processes involve severe
thermomechanical cyclic loads and high operating temper-
atures in a mixed creep and fatigue environment, leading to
critical working conditions for molds and dies. In particular,
the fatigue phenomenon appears since each process stroke
represents a single working cycle, while creep arises, and
can become dominant, with increasing temperatures and
exposure times. In addition, the interaction of these yielding
phenomena, that is, phenomena that progressively increase
the level of accumulated plastic deformation in the com-
ponent, can be more detrimental to die life than the single
effect [1, 2]. This translates into very strict demands on tool
materials in terms of resistance against cyclic thermal and
mechanical stresses, creep, and wear. Hot-work tool steels
represent an optimal solution for manufacturing dies due
to the high strength, also in hot conditions, good ductility,

and also toughness [3]. However, cracking and failures for
high-temperature forming tools are frequently documented
in literature and in industrial practice. For example, a
detailed analysis carried out on hot forging tools showed
a strict correlation of failure modes with a various kind
of influencing variables such as die material, die design, and
die manufacturing and forging operations [4]. Kosec et al.
divided the failure of dies for casting of aluminum into four
main groups: big cracks, heat checking, cracking in corners,
and sharp edges and abrupt transitions and cracking due to
wear and erosion [5]. Arif and Sheikh presented an accurate
investigation on the die failure mechanisms in hot aluminum
extrusion concluding that, on an overall basis, all types of dies
considered together, the failure modes were fracture (46%),
wear (26%), detection (19%), mixed mode (4%), miscella-
neous (2%), and mandrel-related (3%) [6-8]. Fracture and
wear can be kept in some way under control by means of
proper initial design and by reliable die heat treatment and/or
coating [3]. In addition, both phenomena are marked by
evident material discontinuities in terms of separation for
fracture and displacement for wear. Conversely, an excessive



inelastic deformation is a time-dependent, progressive, and
irreversible phenomenon accumulated cycle by cycle that can
lead to the going-out of the die’s geometry and thus to its final
discard even without the appearance of cracks or other mate-
rial discontinuities [1, 9]. A robust and reliable knowledge
of these pieces of information is therefore recommended at
the die design stage. This would indeed support engineers in
predicting the maximum number of workable components
in order to remain within the required tolerances and in
estimating die durability.

At present, in industrial practice, die design is still mainly
based on experience and a set of common shared rules [10, 11]
while numerical simulations are seldom used. However, there
are several disadvantages of this practice.

In-service experimental monitoring of time-dependent
deformation, and then of stresses, requires complex setups
due to the involved high temperatures and difficult tools’
accessibility. Secondly, it merely allows for an ex-post evalua-
tion since when noncompliant products are detected, expen-
sive tools have been already manufactured and need to be
discarded [12].

Conversely, numerical simulations have been already
widely proved to be adequate tools to obtain reliable informa-
tion on the level of stress and strain/deformation in the dies
thus serving as “a priori” estimations for die design optimiza-
tion and lifetime improvements. This has been demonstrated,
as example, in [13, 14] for aluminum extrusion dies, in [15]
for die-casting dies, and in [16] for the H1I tool steel widely
used for forming tools. Indeed, the level of the achieved
deformation is the first necessary input for evaluating the
damage and the related lifetime models [16, 17]. Nowadays,
manufacturing processes can be reliably analyzed in terms of
plasticity conditions (strain, strain rates, and temperatures)
but also pressure maps and damage distributions by means of
finite element (FE) simulations. Moreover, dedicated struc-
tural codes allow more specific thermostructural analyses of
molds and dies for the prediction of the stress and strain levels
and distributions by offering a greater flexibility in terms of
tool-material behavior models [13]. In this context, the most
comprehensive elastoviscoplastic model based on the internal
state variables has been developed by Chaboche within the
continuum damage mechanism approach [18, 19]. Despite its
claimed ability to correctly describe most of the effects experi-
mentally observed under creep-fatigue regime, the Chaboche
deformation model is only partially available within the
main commercial FE codes. In addition, no values of the
coeflicients are usually reported in technical papers, probably
due to the time-consuming experimental calibration phase
and, to the best of authors’ knowledge, few validations of
such models have been presented in literature against cases
of industrial interest only on special tool steels. Indeed, the
wide set of phenomena considered by the Chaboche model
produces consequently a very wide number of parameters to
be experimentally identified thus making the model almost
inapplicable or extremely critical to be properly calibrated
and implemented in FEM.

Accounting for all these restrictions, the authors pro-
posed a simplified numerical modelling approach for pre-
dicting the time-dependent deformation of hot forming tools
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FIGURE 1: Specimen in the Gleeble simulator.

operating in the creep-fatigue regime with the main focus
on time-dependent deformation of specimens rather than
damage (material discontinuities in form of cracks, pores, or
voids) mechanisms. The starting point was the application of
a simple creep law for cyclic (fatigue) and cyclic with dwell-
time (creep-fatigue) loads. Novel regression equations were
developed for the creep coeflicients to correlate with stress
state, temperature, and exposure time.

With the aim of explaining in detail the procedure, it is
applied to the specific case of extrusion dies. The considered
die material is the H1l hot-work tool steel (X38CrMoV5-1),
one of the most commonly used for forming applications [3].
The procedure was tested against an industrial die discarded
due to an achieved excessive permanent deformation after
64 extruded billets. Experimental mandrel deflection was
compared to numerical prediction.

2. Materials and Method

During metal forming (extrusion processing included) mul-
tiple billets are sequentially processed placing the die in the
regime of fatigue, each billet representing a loading cycle.
Accounting for the billet-die contact time during a single ram
stroke and for the high temperature developed during the
process, also the creep mechanism plays a significant role. So
that the die deformation mechanism is due to creep-fatigue
interaction [2, 20].

An innovative physical experiment was proposed by the
authors reproducing the thermomechanical conditions of an
extrusion die [21]: the specimens resembled the mandrel
of a porthole die on a small scale, thus accounting for
realistic stress-strain distribution and surface conditions, and
were made of H1l (X38CrMoV5-1) hot-work tool steel. The
experimental tests were performed on a Gleeble simulator by
heating the specimen using Joule’s effect and by applying a
full compressive load to the specimen up to 6.1 hours or till
specimen failure (Figure 1).

The experimental trials included four levels of temper-
ature, namely, 380°C, 490°C, 540°C, and 580°C, and three
levels of average stresses of 400, 600, and 800 MPa in the
bridges of the specimen. A number of porthole dies were pre-
liminary simulated to properly calibrate the load level in
order to generate in the specimen’s bridges the same average
stress as in the dies’ ones (Figure 2(h)). Also, the testing
temperature was that of the bridges and mandrel as measured
by 15 thermocouples placed in the specimen during the
experiments [21]. Three types of load were applied: pure creep



Advances in Materials Science and Engineering
Creep Creep-fatigue
TD/I\ A ~ 10sec
T - T I
Load / - Load J Load ’ Smin
,/ / /
/ / ’
/ / /
/ / ’
2kNjF 2th_ ZkNr
2 2 Time g 8 9sec (unload) Time g g | 9sec(unload) Time
o o o o =) =3 <
(=3 (=] (=3 [=} (=3 (=)
(a) (b) (0)
0.0 r 0.0 0.0
2 -0.2 . -02} —~ —02 o
E oaf E 0af E oaf ‘ |
g -0.6 C g -0.6 C = -0.6 C
g 08 g -08 g -08
5] [ L L
g -0t g-0f g -10f
& -12 ¢ & 12t & 12t
S 14| B 14| B 14 b
—-1.6 U 1 1 1 1 1 | 1 1 1 | -16 L 1 1 1 1 1 1 1 1 1 1 -16 L 1 1 1 1 1 1 1 1 1 |
ce s e SR == = === = = =} cC 00 090909909 99
ZFERS3s28%8 ZESEEZERERE ZSESEEZERERE
sd2S g% NRRSHEER9Y aEREdEERdR
Time (sec) Time (sec) Time (sec)
(d) (e) (f)
0.0
~ 02 [ [ —
g 021 i
£ 04 | u displacement (mm)
= =06 | | I I
z o A g1 SR
£ -08 f L ) 7T
g -0t o
Z -2
A -14 f
_1.6 _I 1 1 1 1 1 1 1 1 1 ]
S O O 0 O O o o o o O
S O O O O O O o O O
n O n o wn o n o wn o
NN NO NN DNNO NN
— - = = AN NN
Time (sec)

(g)

(with the load held at a fixed value), fatigue (cyclic load),
and creep-fatigue (cyclic load with 3 minutes of dwell time)
(Figures 2(a), 2(b), and 2(c)). Creep-fatigue represents the
testing condition with a prescribed dwell or exposure time;
creep and fatigue tests correspond to two extreme conditions
of simulating, respectively, an infinite and a zero dwell-time.
In case of extrusion, the dwell time is a function of the billet
length, ram speed, and extrusion ratio, and it increases with
the raising of the billet length and extrusion ratio and with
the decreasing of the ram speed. As main output of the test,
the displacement of the specimens’ mandrel (1), as caused by
the specific loading conditions (load type, temperature, and
stress level), was recorded over the testing time (Figure 2(g)).
Specifically, the pure creep load generated a continuous curve
(Figure 2(d)) while the pure fatigue and the creep-fatigue
loads generated a cyclic curve with the loading-unloading
displacement’s path corresponding to each cycle (Figures 2(e)
and 2(f)).

(h)

FIGURE 2: (a, b, ¢) Waveform of the applied load and (d, e, f) output peak displacement over the testing time for the three loading conditions
at 600 MPa and 490°C (data not purged by the press deformation). (g) Schematic explanation of the results. (h) Reference region for the
definition of the average stress in the small-scale die specimen.

As observed for standard tests for the same steel [22], a
comparable pattern of the mandrel displacement-time curve
was found for all the experimental conditions reproducing
the stages of softening typical of the strain evolution in a
standard creep test. In particular, the specific ranges of inves-
tigated temperatures and stresses pointed out a primary phase
without saturation typical of the secondary creep. Thus, an
exponential type law was chosen to predict the displacement
of the mandrel over time accounting for the stress, time, and
temperature behavior dependency of the material response in
this region of deformation, that is, the time-hardening creep
law [23]; consider the following:

£=C, 0% TS, )
in which & is the strain rate, o and T are the stress and
temperature levels, and C,, C,, and C; are material constants.
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TABLE 1: The computed values of time-hardening law coefficients.
n m a, C, C, C,
T° =450 3,50493 0,0675 1,0858E - 12 7329E - 14 3,5049 -0,9325
T° =500 1,85103 0,085 1,6965E — 07 1,442E - 08 1,8510 -0,9150
T° =550 1,4848 0,10625 4,198E - 06 4,460E - 07 1,4848 -0,8938

However, other primary creep equations could have been
selected also adding the contribution of the secondary phase
in case of specimen’s softening saturation.

For a better estimation, initial values of the coeflicients
for (1) and the HII tool steel were extracted from data
taken in literature for pure creep tests at different stress and
temperature levels [24, 25] according to the following proce-
dure:

(1) Time-hardening law expressed in terms of creep
strain:

e =a,o"t", 2)

where ¢ is the strain, o is the stress level, t is the time
of the load application, and a,, n, and m are material
constants.

(2) Passage to the logarithmic form:

In(e) =In(ay) + nln (o) + mIn (t)
3)

=a, +nln(o) +mlin(t).

(3) For each level of temperature, n computed by averag-
ing values for fixed times (In(f) constant) and variable
stresses:

In(e) =In(ay) +nln (o) + mIn(t) = a, + nln (o). (4)

(4) For each level of temperature, m computed by aver-
aging values for fixed stresses (In(o) constant) and
variable times:

In(e) =In(ay) +nln (o) + mln(¢) = ay + mIn (). (5)
(5) For each level of temperature, g, computed by enter-

ing nand m in (1) for fixed times and by averaging the
values:

In(e) —nln (o) - mln () = In(ay) . (6)

Croe T \&/D)
C1= Clmin' <1__1>< ) 'Q'tgwell
Clmin Tmax

(6) Computation of the coefficients in (1):

t=—=qgyom-0"-t" ' =C, . 0% TS
dt° ! @)

Ci=ay-m, C,=n Cy=m-1.

The resulting values of the coefficients are reported in Table 1
based on the experimental data in [24, 25].

By means of FE analyses, the values reported in Table 1
were optimized for the set of experimental tests performed
on the small-scale mandrel specimens [21]. The temperature
distribution in the specimen was computed by performing a
thermal-electrical simulation [26]. While the time-hardening
law in (1) is usually applied in case of creep results for which
continuous curves are generated (Figures 2(a) and 2(d)), its
application for the fatigue (Figures 2(b) and 2(e)) and creep-
fatigue (Figures 2(c) and 2(f)) tests is a nonconventional use
since loading-unloading ramps of the cycles are not mod-
elled. So, for these tests, a continuous curve was extrapolated
by connecting the peak values of the displacement of each
cycle and applying the same approach as for the creep tests
(Figure 3). In Table 2, the values of the optimized coeflicients
Cy, C,, and C; are reported.

Figure 4 graphically shows the numerical correlations
expressed in Table 2.

It emerges that C, is a function of the temperature level
and of the dwell time (type of applied load) while it is
independent of the stress level. The coeflicient C; can be
considered to be dependent only on the selected temperature
level while C,, also if not so marked, is a function of all the
involved parameters, that is, the stress and temperature levels
and the dwell time; indeed, even very small variations of this
parameter were found to have a great influence on the output
results in terms of predicted numerical displacement of the
specimen. Novel empirical regressions were formulated in
order to correlate each coefficient of the time-hardening creep
law to the stress-temperature-load state as follows:

Clmin = C1 (Tmin,creep—fatigue) > Clmax = Cl (Tmax,creep—fatigue) > Kl’ Q>R = material costants,

C, = (E of TG) -N- tfi]well E,F,G, N,U = material costants, (8)

3max

c3:_(|c3mm|.[1+<g

)]

3min

C3min = C3 (Tmin,creep—fatigue) > C3max = C3 (Tmax,creep—fatigue) > KS = material costants.
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TABLE 2: Optimized values of the coeflicients in (1) on the basis of

experimental data for creep, fatigue, and creep-fatigue conditions.

(a)
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TABLE 3: Material constants used in (8) for the Hl1 tool steel.

Creep
380[°C]  490[C] 540[°C]  580[C]
G
400 [MPa] 700E-14 144E-08 4.46E-07 4.00E-06
600 [MPa] 7.33E-14 144E-08 4.46E - 07
800 [MPa] 733E-14 1.44E-08
G
400 [MPa] 3.97 1.92 1.35 1.06
600 [MPa]  3.70 1.82 1.40
800 [MPa]  3.57 1.82
Cs
400 [MPa] -0.9325 -0.9150 -0.8700 -0.8700
600 [MPa] -0.9325 -0.9150 -0.8700
800 [MPa] -0.9325 -0.9150
(b)
Fatigue
380[°C]  490[°C] 540[°'C]  580[C]
¢
400 [MPa] 6.00E-14 133E-8 4.00E-7 3.00E-06
600 [MPa] 6.00E-14 133E-8 4.00E-7
800 [MPa] 6.00E-14 133E-8
&
400 [MPa] 3.96 1.90 1.34 0.99
600 [MPa] 3.74 1.77 1.27
800 [MPa] 3.60 1.74
G
400 [MPa]  —0.9325 -0.9150 -0.8700 -0.8700
600 [MPa]  —0.9325 -0.9150 -0.8700
800 [MPa]  —0.9325 -0.9150
(©)
Creep-fatigue
380 [°C] 490 [°C] 540 [*C] 580 ["C]
G
400 [MPa] 6.40E-14 142E-8 420E-7 3.80E-06
600 [MPa] 6.40E-14 142E-8 420E-7
800 [MPa] 6.40E-14 142E-8
G
400 [MPa] 3.97 1.92 1.35 1.05
600 [MPa] 3.72 1.84 1.30
800 [MPa] 3.62 1.83
&
400 [MPa]  —-0.9325 -0.9150  —0.8700 -0.8700
600 [MPa]  -0.9325 -0.9150  -0.8700
800 [MPa]  —0.9325 -0.9150

In (8), t4yen is the time in which, during a creep-fatigue test,
the imposed load is kept constant and, as previously observed,
for the specific case of extrusion dies, it is correlated to the

o C, c,
Cimae 38E-06 E  130E+08  C,. -0.87
Cimin 64E-06 F -0.11245 Comn —0.9325
K, 16650 G -2.8021 K, 3000
Q 1.0421 N 1.00251
R 00124698 U 0.002025

billet length, ram speed, and extrusion ratio. Instead, C,, .
Cimin and C5., C; 1 represent the values of the coefficients
found for the maximum and minimum temperatures in the
selected range of experimental investigation in case of creep-
fatigue load for the first and the third coefficients. Parameters
K,,Q,R,E, F,G, N,U, and K; are material constants. For the
presented specific case of H11 tool steel, the coefficient and the
material constants in (8) are summarized in Table 3.

The selected equations, among different ones tested, were
those best fitting the set of experimental data. A total of
36 experimental tests were initially performed to verify the
sensibility of the small-scale die specimen to the operational
conditions (4 levels of stress and temperature and three
loading schemes) and the results were used to calibrate the
model. However, the selected equations form allows reducing
the number for a perfect matching to 27 (three levels of stress,
temperature, and loading type) that, for a rougher estimation,
can be additionally reduced to 12 (two levels of stress, temper-
ature, and three loading types). The contribution of the dwell-
time parameters (Q, R, N, U, and ty,,;) was kept separated
in order to further limit the number of experimental tests to
calibrate the equations’ coefficients for the cases in which a
fixed dwell time can be considered (9 for a perfect matching
and 4 for a rougher estimation).

The set of (8) was then implemented in a dedicated
APDL subroutine in the ANSYS Inc. code and run to get
an element-by-element assessment of the coefficients as a
function of the specific (o, T) state and, additionally, of the
specific workpiece-die contact (dwell) time.

In a first verification stage, the proposed procedure was
validated against additional experimental data performed
with different specimen geometries, not included in the opti-
mization step of the coefficients. After that, the procedure was
tested by comparing numerical predictions of the mandrel
displacement history with experimental data for an industrial
extrusion die.

3. Results and Discussion

Results of the calibration phase of the model are reported in
Figure 5 for each level of tested stress and temperature for the
creep loading configuration. For these conditions, the dwell
time was imposed equal to 6.1 hours. In Figure 6, a magnifi-
cation of the typical comparison output that shows the peak
mandrel displacement along the load direction is reported
as experimentally computed and numerically predicted over
the total testing time. The average percentage error over
all the simulated creep conditions was 12.7% corresponding
to 0.06 mm difference. The applied methodology fits an
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FIGURE 6: Example of the comparison between experimental and
numerical results. Experimental dots represent the data extrapolated
at the same time steps of the numerical predictions.

average behavior since in a number of comparisons the
numerical data overestimate the experimental results while
in other cases the predicted displacement underestimates the
experimental one. The higher discrepancy with the increasing
temperature was due to a premature failure of the specimen
in the most critical conditions (i.e., 540°C-800 MPa, 580°C-
600 MPa, and 580°C-800 MPa) that were not included in
the calibration phase of the coefficients. As declared in the
Introduction, the procedure is able to account for yielding

phenomena while damaging (material discontinuities) ones
are neglected.

The overall discrepancies can be considered acceptable
also accounting for possible small experimental uncertain-
ties. In Figure 7, the results for the different tested levels
of stress and temperature for the pure fatigue loading are
reported. As for the creep tests, the testing configurations
that led to a premature failure of the specimen during trials
were not included in the calibration step (540°C-800 MPa and
580°C-800 MPa). The average percentage error was higher
than that for creep test and equal to 32.5% (0.124 mm). As can
be observed in Figure 7, the greatest experimental-numerical
discrepancies are observed at highest temperature of 580°C
that, for the specific investigated steel, coincides with the
tempering temperature thus leading to a fast deterioration of
the mechanical properties not accounted for in the model.
However, process parameters are usually set in order to avoid
this level of temperatures in the tools or, at least, to get it in
limited portions of the material far from the yielding regions.
In addition, at these conditions, damage in the form of
material discontinuities (cracks, pores, and voids) reasonably
appears and it is not modelled by the set of equations. This
made also the average error of 32.5% acceptable.

A similar agreement between experimental and numeri-
cal results as that found for the creep tests was determined in
case of creep-fatigue loading condition with an average per-
centage error of 14.3% all over the testing configurations
corresponding to 0.08 mm (Figure 8).

As expected, the peak percentage error was, in each case,
found for the combination higher temperature-higher stress
level.
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FIGURE 9: (a) Equivalent creep strain for the testing condition of 490°C and 400 MPa, (b) Von Mises stress distribution, and (c) displacement

along the load direction.

In Figure 9, as example, some output results of the FE
simulation performed according to the developed procedure
at 490°C temperature and 400 MPa as stress level in the
legs are reported. Specimen is shown in the deformed final
configuration after 6.1 hours. The peak equivalent creep strain
(Figure 9(a)) was found in the region of the connecting radius
where both the highest temperature and stress level were
located.

3.1. Verification against Specimens. The comparison between
experimental and numerical results was made for two differ-
ent geometries of the specimen not included in the calibration
phase of the coefficients. Specimens differed for the values of
the mandrel-legs connecting radius (R, Figure 9): the values
of 2mm used for the calibration phase and 1mm (R1) and
3mm (R3) used for the verification one. A reduced experi-
mental plan was investigated for the R1 and R3 configurations
both tested at two stress levels, 400 and 800 MPa, but at fixed
temperature (540°C) and dwell time (3 minutes). Results are
reported in Figure 10. The effect of the characteristic radius
on the output results was significant, especially at the highest
stress level (800 MPa): the R3 configuration ended the test
without premature failure while the RI configuration, with a
sharper radius, failed after only two cycles.

For the lowest stress level (400 MPa), the effect of the
notch radius was less significant and for both the R3 and
the RI specimens the test was completed (6.1 hours). A good
average agreement was found for these specimen geome-
tries between experimental and numerical results. Average
percentage error was less than 13% with a peak value of
28.4% for the R3 configuration at the last cycle of the test
performed at 800 MPa. The errors for the Rl configuration
tested at 400 MPa were of the same order of magnitude while,
at 800 MPa, data are not reported due to premature failure of
the specimen after a reduced number of cycles.

3.2. Verification against an Industrial Extrusion Die. As last
step of the work, the proposed procedure was applied to an
industrial extrusion die whose process data were monitored
and acquired during a controlled extrusion. The selected
die had a standard geometry with a three-leg mandrel,
equispaced at120°, commonly adopted in industry to produce
round tubes. The specific extruded hollow profile was a 5 mm
thick tube with a 60 mm outer diameter (Figure 11).

The die was made of HI1 steel. After 64 extrusion cycles
(billets), the die was discarded due to an excessive permanent
mandrel deflection equal to 0.32 mm. This value was recorded
by a feeler gauge after the die was dismounted from the
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FIGURE 10: Experimental versus numerical mandrel peak displacement over the testing time for the test performed at 540°C and 400 MPa for

the R1 and R3 specimen configurations.

FIGURE 11: Mandrel of the porthole die used in the experiment.

press. In order to predict the pressure map on the die faces,
a steady-state process simulation was performed by means of
the FE code Altair HyperXtrude® (HX) [27] and by imposing
boundary conditions, in terms of friction and heat exchange
coeflicients, previously verified [28-30]. With the aim of
verifying the robustness of code computations, experimental
and numerical results were compared in terms of extrusion
load, profiles exit velocity, and die and profile temperatures.
A good agreement was found with percentage errors less than
5% for each prediction (Table 4).

An FE model of the die was then generated in a different
FE code specifically dedicated to structural analyses (ANSYS

TABLE 4: Experimental versus numerical predictions for the indus-
trial extrusion die.

Experimental Numerical % error
Peak extrusion load [tons] 3158 3290 4.1
Exit velocity [mm/s] 121 115 4.9
Die temperature [°C] 423 440 4.0
Profile exit temperature ["C] 560 564 0.7

V17.0 Inc.) in which the subroutines for (8) were defined in
the APDL language and then implemented. A single solid was
generated including die and mandrel thus avoiding contact
generation and then significantly reducing the computational
time. However, this did not alter the output results due to
the rigid die-mandrel constraints as made with reference pins
(Figure 11). The aluminum pressure map applied to the die
faces in contact with the billet was imported from the process
simulation code (peak value 340 MPa) as well as the temper-
ature distribution (Figure 12(a)). Displacement constraints
were applied accounting for experimental settings: the die
faces in contact with the bolster were fixed in the extrusion
direction while the nodes in contact with the saddle load
on the press were fixed in the other directions. From the
experiment, an extrusion time of 300 seconds was computed
and imposed as dwell time for the subroutine calculations
in the FE simulation (Figure 12(b)). The total simulation
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FIGURE 12: (a) Temperature distribution [°C] in the die as output from the process simulation. Within the dashed area is the yielding region.

(b) Experimental pressure-time diagram for a single extrusion.
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FIGURE 13: Die deflection [mm)] along the extrusion direction as predicted with a static analysis (a) and according to the proposed procedure

(b).

time was fixed to 16.6 hours, corresponding to around 200
extrusion cycles, even if experimentally the die failed after 64
billets.

The standard industrial calculations used as bases for
die design decisions are usually static structural analyses
equivalent to a single forming cycle. In order to compare
the level of accuracy of such type of calculations with those
performed by means of more sophisticated computations
like those offered by the proposed procedure, the output
mandrel deflection of the die was computed after one cycle
(static) and after 200 extrusion cycles, a reasonable number
for a standard extrusion die life. As showed in Figure 13, the
mandrel deflection was 0.28 mm in loaded condition for the
static computation (a) while it was 0.81 mm for the multicycle
simulation (b) as got by applying the procedure. Thus, it is
interesting to note that if 0.28 mm is used as value to estimate
the die lifetime after 200 working cycles, an error up to 64%
is committed.

More in detail, Figure 14 shows the trend of the mandrel
displacement with increasing the number of extruded billets
as computed by means of the developed procedure. As
previously stated, while after a single billet (static load) the
mandrel was displaced by 0.28 mm under loading, after 55
billets the total deflection was increased to 0.65 mm reaching
a value 0.81 mm after 200 billets. So, this type of information
can be successfully used to define the number of workable

components in order to remain within the required toler-
ances. If, for example, it is experimentally tested or estimated
from practical experience that the maximum experimental
allowed die displacement is 0.5 mm, from the computation
it emerges that a maximum of 12 billets can be consecutively
extruded with the selected set of process parameters and die
design.

Concerning the comparison with the experimental mea-
surement after 64 billets (0.32 mm in unloaded condition),
the numerical procedure predicted a mandrel deflection of
0.67 mm that was purged of the elastic quote of 0.28 mm
achieved in the first cycle and equalled 0.39 mm. A good
agreement was then achieved between experimental and
numerical prediction with an absolute error less than 0.1 mm
(0.07 mm).

4. Conclusions

In the present work, a novel modelling approach is pre-
sented for the prediction of the time-dependent deformation
undergone by hot forming tools in the creep-fatigue regime.
Novel regression equations were developed to express the
dependencies of the coefficients on the stress-temperature
state in each point and on the dwell-time value representing
the workpiece-tool contact time typical of the specific appli-
cation. The extrusion context and the H11 (X38CrMV-5) tool
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FIGURE 14: Total mandrel displacement [mm] against number of consecutively extruded billets as computed by the proposed model. Three

plots of the FE simulation of the mandrel are reported as example.

steel were selected as examples to describe and validate the
procedure; however, it is of general applicability to different
forming tools and to a variety of tool materials.

Physical experiments performed at different levels of
stress and temperature and under three loading types (creep,
fatigue, and creep-fatigue) were used to calibrate the coef-
ficients of the novel equations. Comparison of numerical
predictions with experimental data showed a good agreement
for creep and creep-fatigue conditions with average errors
of 12.7% (0.06 mm) and 14.3% (0.08 mm), respectively. The
pure fatigue condition was less well fitted showing an average
error of 32.5%. However, in each tested condition, the greater
experimental-numerical discrepancies were found for the
most critical conditions, that is, higher stress and temperature
levels in which damage (material discontinuities) reasonably
appeared.

Then, two additional specimen configurations were used
as experimental data to be compared with numerical predic-
tions. For three of the four tested conditions under creep-
fatigue load and 540°C, the average percentage error was less
than 13%. The configuration with a sharper radius failed after
only two cycles at the higher stress level (800 MPa), so that
comparison with numerical data was not feasible.

In the last part of the work, a verification was performed
on an industrial extrusion die. A very good agreement in
terms of permanent displacement after 64 consecutive cycles
(billets) was achieved with an experimental value of 0.32
against 0.39 numerically predicted by the proposed set of
equations.

This confirmed the capability of the novel approach to
accurately account for the induced stress and temperature
states as well as for the specific dwell time, characteristic of
the set of process parameters and die design. The proposed
procedure can be therefore regarded as a valid support for
die designer in the “a priori” estimation of time-dependent
deformation of hot forming tools working under the creep-
fatigue regime.
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